
JMEPEG (1995) 4:745-755 �9 International 

Assessment of the Cold Formability of 
Ferritic Steels Using Parameters Determined in 

Uniaxial Tensile Testing 
I/. Ollilainen 

Possibilities and limits of the uniaxiai tensile testing in the assessment of cold formability of ferritic low alloy 
steels are evaluated in the paper. Cold formability covering both sheet and massive forming, including entire 
formability maps, strain hardening etc., can be estimated from six material parameters determined in a 
uniaxial tensile test. A master stress strain curve to explain multiple n behavior is proposed. Effects of alloying, 
especially chromium, and other metallurgical parameters on cold formability are discussed. 
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1. Introduction 

VARIOUS TECHNOLOGICAL simulation tests (Erichsen test, 
standardized upsetting test, etc.) have been developed to assess 
the cold formability in a particular forming method. Since cold 
formability is influenced not only by the method, but even by 
specific conditions within the method, the application of  simu- 
lation leads easily to many different tests (Ref 1). 

Another possibility is to correlate cold formability with 
various material parameters (Ref 1-5). This approach offers a 
smaller number of tests and good suitability to computer-aided 
manufacturing and material selection. A reliable assessment of 
cold formability according to this principle still requires differ- 
ent tests (Ref 4-7). 

The uniaxial tensile test, which is a simple, reproducible 
method available in most material testing laboratories, is often 
regarded to be capable of  measuring only a part of the neces- 
sary material parameters. Recent observations with steels, 
however, show that tensile testing may have more potential 
than is usually assumed (Ref 8, 9). 

This paper deals with possibilities to expand the utility of  
uniaxial tensile testing in the assessment of cold formability-- 
especially that of  ferritic steels--and thus to reduce the number 
of  different test methods needed. 

2. Main Aspects of Cold Formability 

Flow stress and ductility are often accepted as the main as- 
pects in the concept of  cold formability (Ref 10-12). Flow 
stress is usually expressed as stress-strain relationships and 
ductility as formability maps (Ref 13). 

2.1 Flow Stress 

Flow stress is characterized by the yield stress of a nonde- 
formed material and the stress-strain relationship in the plastic 
range. 

V. Ollilainen, Imatra Steel, FIN-55100 Imatra, Finland. 

2.1.1 Yield Stress 

The yield stress of equiaxed, nondeformed ferrite depends 
on the individual contributions of structural and alloying vari- 
ables: 

Oy = Gy(O i, AO s, AOp, AO'b) 

where 6y  is the lower yield stress; t~ i is the lattice friction; and 
AOs, A a ,  and Ao b are the contributions of  solid solutes, parti- 
cles, anc~grain boundaries, respectively. 

The contribution of the grain boundaries is quantitatively 
expressed by the Hall-Petch equation (Ref 14-15): 

Gy = G 0 + kyd -1/2 (Eq 1) 

where o 0 and ky are constants and d is grain size. For ferritic 
steels the Hall-Petch equation is valid over a wide grain-size 
range, down to 1.6 lam (Ref 16). 

Experimentally measured values of the Hall-Petch con- 
stants for irons and mild steels with an equiaxed ferritic struc- 
ture are presented in Table 1, where alloys are divided into three 
groups: 

�9 Group lincludes irons and mild steels with a carbon content 
(Xc) of >0.005 wt%. Both constants (Go, ky) have high val- 
ues. 

�9 Group H consists of irons with a maximum carbon content 
of  0.004 wt%. The constant t5 o has low values, but ky is at 
the same level as in group I. 

�9 Group III contains interstitial-free irons, the carbon and ni- 
trogen of  which have been removed. Both constants have 
low values. 

As Table 1 shows, the removal of  interstitials weakens the con- 
tribution of  grain boundaries to strength (i.e., reduces ky), 
which is related to the change in the locking of dislocations by 
impurities (Ref 18, 31, 32). 

The hardening of an individual solute is approximately pro- 
portional to its content, and their effects in ternary alloys are 
simply additive (Ref 33, 34): 
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AGs = E kixi (Eq 2) Cu = o i + AG s + AOp + (0 -< ky < kyma )d-l/2 (Eq 3) 

where x i is the weight percentage of an individual alloying ele- 
ment and k i is the corresponding solid-solution hardening con- 
stant. Experimental k i values for common solid solutes in 
ferrite are shown in Table 2. 

Chromium causes a weak solid-solution hardening (Table 
2), but this is clearly visible in interstitial-free iron alloys only. 
In commercial steels, chromium interacts with the carbon in 
ferrite, reducing its solid-solution hardening effect, "cleaning 
mechanism" (Ref 9, 35). As a result of these contradictory ef- 
fects, a minimum can be found in the hardening curve by chro- 
mium (Fig. 1). 

Methods for a quantitative assessment of particle hardening 
are available in the literature--both for deformable, usually co- 
herent particles and for nondeformable, usually noncoherent 
particles (e.g., cementite) (Ref 40-42). Elementary hardening 
contributions are not always directly additive. For instance, 
grain-boundary hardening is dependent on the presence of non- 
deformable particles. The yield stress of an alloyed ferrite may 
be expressed by the applied Hall-Petch equation, which is in 
the general form (Ref 43): 

Table 1 Hal l -Petch constants  for ferritic irons and  steels 

In alloys with deformable particles, elementary hardening 
contributions are usually additive, and ky = ky~x. In alloys 
where the strengthening mechanisms interact strongly (Ref 
44), such as iron with solid solutes and nondeformable parti- 
cles, ky is dependent on Aa s and A~p, and ky < k y , .  

For ferritic iron-carbon alloys containing solutes as well as 
particles, by assuming the values ffi = 30 MPa and ky = 23 
MPa m'4-m--~ (Table 1), the yield stress can be calculated accord- 
ing to the procedure as follows (Ref 9): 

* For plain iron-carbon alloys, At~ s + A~p = 0: 

�9 a v  = 30 + 23d -1/2 (Eq 4) 

�9 For iron-carbon alloys with particle hardening caused by 
deformable (coherent) particles and with a weak solid-solu- 
tion hardening, 0 < A~ s <_30 MPa: 

fly = 30 + At3 s + AGp + 23d -1/2 (Eq 5) 

Alloy xc, wt % 

Gnmp I: 
Mild steels and irons with x c >__ 0.005 wt% 

Group II: 
Irons withx C < 0.004 wt% 

Group 111: 
Interstitial-free irons 

ao, MPa ky, M P a ~  Ref 

0.06 41 20.6 14 
0.02 47 22.4 17 

0.03-0.04 66 23.1 18 
0.04 45 22.5 19 
0.014 63 21.6 20 
0.03 58 15.2 21 
0.05 66 19.6 22 
0.005 73 18.0 23 
0.045 61 21.8 23 
0.046 58 24.3 24 

0.002 25 23.5 25 
0.004 17 18.4 26 
0.003 25 19.6 27 
0.003 16 16.9 28 

(a) 45 9.7 29 
(b) 36 6.5 29 
(c) 32 5.4 30 
(c) 18 7.6 28 
(d) 32 5.4 30 
(e) 45 5.0 30 

(a) Partially decarburized. (b) Decarburized. (c) Iron with 0.15/0.2 wt% Ti. (d) 0.003 wt% C, 1.5 wt% Cr. 0.2 wt% Ti. (e) 0.003 wt% C, 3 wt% Cr, 0.2 wt% 
Ti 

Table 2 k i and x i va lues  for ferritic irons and steels 

Solute C Si Mn P Cr Ni Mo Cu Sn AI N 

ki, MPa/wt% 1.0 • 10  4 81 18 590 8 8.0 15 40 130 24 2300 
xi, ,wt% 0.013 4 1.5 0.4 12 3 10 1 0.5 8 0.026 

Source: Ref 9 
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�9 For iron-carbon alloys with a weak particle hardening 
caused by nondeformable (noncoherent) particles or a 
weak solid-solution hardening, 0 < o s + AOp < 30 MPa, Eq 
5 is used. 

�9 For iron-carbon alloys with a substantial amourlt of  solid 
solution and/or particle hardening caused by nondefor- 
mable (noncoherent) particles, Ao s + AOp > 30 MPa, ky has 
a linear dependence on o0: 

ky = 27.1 - 0.06800 (Eq 6) 

The corresponding yield stress is: 

O'y = 30 + A6 s + ACp + [25.1 - 0.068(A6 s + Arp)]d -1/2 

(Eq 7) 

which thus is a modified Hall-Petch equation, or a closed form 
of  Eq 3, taking into account the mutual effects of solid-solution, 
particle, and grain-boundary hardening. 

�9 For interstitial-free alloys: 

Oy = 30 + AO s + AOp + 5d -1/2 (Eq 8) 

2.1.2 Stress-Strain Relationship 

The yield stress in the plastic range, or flow stress, o,  is af- 
fected by numerous variables, such as plastic strain, E; strain 
rate, ~; temperature, T; and structure: 

o = 6(e, ~, 7", K. . . )  (Eq 9) 

where Y represents structural parameters. For practical pur- 
poses, one possibility is the use of  the mean stress, a,  during 
forming as a measure of  flow stress (Ref 45): 

l ;  ~ 
o = ~- o(e)de (Eq 10) 

Power Laws.  One of the most widely used empirical equa- 
tions to describe the stress-strain dependence, particularly for 
steel, is the simple power law (Ref46):  

0 = KE n (Eq 11) 

where K and n are constants. The advantage of the equation is 
that it contains only two unknown constants: K equal to the 
stress at unit strain and n to the strain at maximum load in the 
uniaxial tensile test (Ref 46-48). 

The effect of  strain rate can be taken into account by adding 
a power term with strain-rate sensitivity, m: 

(y = K ' E n ' k  m (Eq 12) 

where K '  is a constant. The effect of  deformation heating can be 
expressed by an additional term (Ref 49, 50): 

O = K'l~n'l~m(l - ~AT') (Eq 13) 

where AT is the temperature difference from the isothermal 
condition and 13 constant. For  steel, 13 = 0.0015 1/K (Ref 49, 
50). If the strain rate during deformation is constant, n = n'. 

For steel, n is the main parameter influencing the strain at 
maximum load, and other parameters, such as the m value, are 
of minor importance (Ref 51). A high n value leads to a low 
strain gradient during forming (e.g., in a neck) (Ref 48). 

Even though ferritic steels usually obey the simple power 
law well, its adequacy is not always perfect. Due to a deviation 
from linearity for the stress-strain data in a double logarithmic 
plot, two or three sets of K and n must be used--phenomena 
that are called double or triple n behavior, respectively. Since 
the condition for this multiple n behavior is a small LiJder's 
strain (Ref 52), a masking effect is suggested, in which Liider 's 
strain masks the initial slope of the stress-strain curve. 

For multiple n behavior, the validity ranges of the equations 
are: 

I: o = KoEn0, E L < E < Ek0 

I[: O=Kll;n~, Ek0-<E-<Ekl 

IIl: o ----- K2En2, Ekl -< E -< E* (Eq 14) 

where E L is the Liider 's strain, Ek0 and Ekl are knee strains, and 
E* is strain at maximum load. 

Double n behavior is favored by a coarse grain size and by 
nondeformable particles (Ref 9). The necessary condition for 
triple n behavior is that E L < Ek0. In ferritic steels, low intersti- 
tial content causes a continuous flow curve, making it possible 
to fulfill this requirement (Ref 9). 

A hypothesis has been put forward according to which in 
uniaxial tension there always exists a master curve of  triple n 
type being more or less masked by E L or e* (Ref 9). The visible 
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Fig. 1 Effect of chromium on the yield stress of ferritic irons 
with different carbon contents. The curves are calculated and the 
dots experimentally determined. 
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Fig. 2 Hypothetical examples of the masking effects by E L and 
~* on the visible stress-strain curve. (a) Triple n master curve. 
(b) Double n. (c) Single n. (d) Quasi-double n. Source: Ref9 

A(~(I~) = O(1~2) - (~(1~ l )  (Eq 17) 

whereas the rate of work hardening or work hardening rate is 
the slope of  stress-strain curve (Ref 60-62), which according to 
Eq 9 is: 

: + t<t j ~,T,Y... ~,T,Y.,. 

(Eq 18) 

Equation 18 defines the total rate of  work hardening (Ref 60), 
which is the combined effect of  the rate of strain hardening 
(Ref 60, 63): 

(Eq 19) 

and the strain-induced secondary processes, such as heating, 
recovery, and so on, during deformation. The concept of  Eq 18 
is also the instantaneous rate of  work hardening. The average 
rate of work hardening (Ref 60) over a range of strain is defined 
a s :  

result may then be triple n, double n, single n, or quasi-double 
n, depending on the location of the knee strains related to the 
masking strains (Fig. 2). 

When flow stress is determined in the uniaxial tensile test, 
necking is a restrictive phenomenon. A major limitation in the 
use of uniaxial tensile testing for the assessment of cold for- 
inability of ferritic steels lies in the fact that necking begins al- 
ready at e --- 0.2...0.3. However, there are results showing 'that 
beyond the maximum load in tension a simply extrapolated 
stress-strain curve agrees satisfactorily with the measured 
curve in compression up to e = 1 (Ref 53-55). Moreover, par- 
ticular methods have been developed to calculate the flow 
stress in uniaxial tension up to fracture (Ref 56-58). 

The mean flow stress from Eq 9 and 10 is (Ref 59): 

~ = ~ K  e. (Eq 15) 
n + l  

which is up to unity strain: 

- K (Eq 16) 
~ 1 - n + 1 

indicating K to be a relevant material parameter describing the 
average flow stress.  

W o r k  and  S t ra in  Harden ing .  The term work hardening or 
the magnitude of  work hardening relates to the increment of 
stress with the increase of  strain (Ref 60-62): 

a a  o(e2)  - a ( e , )  
- -  = (Eq 20) 
AE E 2 - -  E 1 

The n value is widely called the strain or work-hardening 
exponent. Cautionary words have been put forward, however, 
on the use of  the n value as a measure of  strain or work harden- 
ing (Ref 61-66). 

From the simple power law, the rate of  strain hardening is 
(Ref48): 

n a  
0 - nKe n-l - (Eq 21) 

which is at maximum load: 

0E= n = Kn n = 0.7K (Eq 22) 

when n = 1/6...1/2 (Ref 63). The rate of strain hardening at 
unity strain is 

0e= 1 = Kn (Eq 23) 

Equations 22 and 23 show that K is a valid parameter for strain 
hardening, but Eq 23 indicates that K and n together are rele- 
vant for this purpose, too. 
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In addition to the definitions in Equations 17 to 20, other 
ideas related to work hardening have been presented. Hart (Ref 
67) defined a function in the state equation: 

~ In 6 
(Eq 24) 

which, in other contexts, is called a work-hardening coefficient 
(Ref 68) or normalized strain hardening, (1/~)(d~/de) (Ref 69). 
The term logarithmic or incremental work hardening rate, d In 
aid In e, being the same as the instantaneous or differential n 
value, is also used (Ref 68, 70, 71): 

d In ~ d6la 
m 

d In e de,/e 
- -  - n(e) (Eq 25)  

From Eq 25 it follows that (Ref 68): 

n(e) 
~, = (Eq 26) 

e 

which is at maximum load Te=n = 1 and at unity strain ~/e=l = n. 
Empirically it has been found that for essentially ferritic steels 
the alloying elements and a large grain size in solid solution in- 
crease the rate of  strain hardening (Ref 9, 72). 

2 .2  Ductility 

Ductility expresses the ability of a metal to deform plasti- 
cally. It is usually limited by plastic instability or fracture. For 
practical forming purposes, the ductility of a particular metal is 
conveniently described by a formability map. 

2 .2 .1  P las t i c  I n s t a b i l i t y  

The general Swift-Hill condition for plastic instability (Ref 
73, 74) is: 

d o  e a e 
> - -  (Eq 27) 

de e Zx 

where  (Je is the effective stress, e e is the effective plastic strain, 
and Z x is the critical subtangent. The value for the critical sub- 
tangent at diffuse necking or load maximum in the uniaxial ten- 
sion of  an isotropic material is Z d = 1 (Ref 73, 75). The critical 
subtangent at localized necking of  an anisotropic sheet, Z], is 
defined in Ref 9. 

Localized necking, defined by Eq 27, becomes possible 
only at those stress states where the principal minor strain is 
negative or zero (Ref 74). For positive principal strains, spe- 
cific theories for localized necking are suggested. For instance, 
a localized neck may be initiated from an inhomogeneity in a 
material according to Marciniak and Kuczynski (M-K theory) 
(Ref 76) or from a heterogeneous distribution of  nonmetallic 
inclusions (Ref 77). 

2.2 .2  F r a c t u r e  

According to the Cockcroft-Latham criterion (Ref 78), duc- 
tile fracture occurs when: 

dE e = constant 
0 

(Eq 28) 

where ef is the strain at fracture and if* is the maximum tensile 
stress. Based on the process of  ductile fracture involving the in- 
itiation, growth, and coalescence of  voids (Ref 79) and on a sta- 
tistical process of the shear joining of  voids, Ghosh (Ref 80) 
derived an instantaneous fracture criterion in plane stress: 

(1 + (/ ,)20" 1 = KCR (Eq 29) 

where KCRiS a constant. For porous metals, Oyane (Ref 81) de- 
rived a fracture criterion that emphasizes the role of  hydrostatic 
stress, CrM: 

~ief( l'l- 1--aMIdee=b~ f ie)  (Eq 30) 

where eefiS the effective strain at fracture and a 0 and b 0 are con- 
stants. 

Anisotropy of a metal may be caused by texture, showing 
variable strengths according to the orientation, or by inhomo- 
geneities, such as nonmetallic inclusions, weakening ductility 
in some direction. In sheet forming, a high r value (i.e., normal 
anisotropy coefficient), used as a measure of textural aniso- 
tropy, is related with a low susceptibility to fracture in deep 
drawing (Ref 82). 

In massive cold forming (cold forging, bulk cold forming), 
fracture most often determines formability. In cold upsetting, 
the fracture strain is influenced by the characteristics of non- 
metallic inclusions, such as their size, form, location, and ori- 
entation, which affect the initiation of  voids (Ref 83-85), and 
by the tensile hydrostatic stress component promoting the in- 
itiation and growth of voids (Ref 83, 85-87). 

In cold upsetting, the anisotropy of  ductility is significant. 
Sekiguchi and Osakada (Ref 84) observed that the critical re- 
duction in cold upsetting correlates with the fracture strain in a 
uniaxial tensile test measured with tensile specimens taken 
transverse to the rolling direction (Fig. 3). The explanation is 
the alignment of  elongated manganese sulfides causing frac- 
ture. On the other hand. in cold extrusion the fracture strain has 
been shown to be related to axial ductility in a uniaxial tensile 
test (Ref 88). A characteristic feature of cold upsetting is the 
change of  the hydrostatic stress in the surface of the specimen, 
which is first negative, but as Fig. 4 shows, in the course of de- 
formation becomes positive and thus able to expand voids. 

2.2.3 Prediction of  Formabil i ty Maps 

Formability maps express limits of  ductility for a specific 
material in two-dimensional strain space, displaying informa- 
tion in a form that aids decision-making in material selection 
and in the design of forming processes. Theoretical predictions 
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Fig. 3 Critical height reduction in cold upsetting versus axial 
and transverse fracture strain (err D and efTD, respectively) 
measured in a uniaxial tensile test. Source: Ref 84 

of  formability maps are still more or less restricted, but they 
have been complemented by empirical rules (Ref 9). 

Formability maps for practical sheet forming, indicating 
limits at local necking, are usually called forming limit dia- 
grams (FLDs). The terms forming limit diagram at necking 
(FLDN) and forming limit diagram at fracture (FLDF) can gen- 
erally be used for sheet as well as bulk forming (Ref 9, 89). 

Constructing a complete formability map normally requires 
different tests. A simpler alternative would be to use only the 
uniaxial tensile test and then predict the limit curves in other 
stress states. 

Sheet Forming.  At negative principal minor strains, an 
FLDN may be calculated theoretically for an anisotropic mate- 
rial by applying Hill's instability criterion (Eq 28) for an aniso- 
tropic material and the simple power law (Ref 9): 

Eln + E2n = n (Eq 31) 

where ein and s are principal strains at localized necking. 
At positive principal strains, a theoretical calculation of  

FLDN may be carded out from the M-K theories (Ref 76, 90- 
95). They include an inhomogeneity factor as a material pa- 
rameter, which cannot easily be assessed. Efforts to use, for 
example, surface roughness for it have been tried (Ref 94, 95). 

An entire FLDN was predicted based on the variation of the 
density of particles (Ref 77). The fitting parameter in the model 
could be determined in uniaxial tension, but with ferritic steels 
the fit was poor at negative minor strains (Ref53). A recent pre- 
diction was attempted based on Hill's nonquadratic yield crite- 
rion with a fair agreement for steel (Ref 96, 97). 

An empirical procedure has been applied in which forming 
limit curves for ferdtic steels have a constant shape and their in- 
tercept with the plane strain axis is determined by the n value 
(Ref 9, 98). By using uniaxial tensile testing only, a simple pos- 
sibility is to approximate an entire FLDN from the n value by 
combining the idea of  a constant shape limit curve and the Hill 
criterion. The limit curve is then calculated from Eq 31 at nega- 
tive strain ratios and from the parable equation 

3 1 2 
s = n + ~ s - ~n-nl;2n (Eq 32) 

at positive strain ratios up to p = 1 (Ref 9). 
A simple way to calculate an FLDF comes from the observa- 

tion that the thickness fracture strain of steel is approximately 
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Fig. 4 Change of surface stress components during cold upset- 
ting. Source: Ref 83 

independent of stress ratio (Ref 90), which combined with vol- 
ume constancy leads to a constant thickness criterion (Ref 99): 

E l f  + s  = c o n s t a n t  (Eq 33) 

where E 1 f and E2f are principal strains at fracture. 
Ghosh (Ref 80) derived from Eq 29 strains at fracture for 

materials with normal anisotropy. By measuring fracture 
strains in the uniaxial tension, he determined KCR and then 
predicted the FLDF (Ref 9, 80). An attempt to simplify 
Ghosh's  method was made by measuring only the longitudi- 
nal strain in the uniaxial tensile test and assuming a fixed 
strain ratio, p = - 1 / 2  (Ref 100). Both procedures gave an 
equal agreement with empirical results in the case of  alu- 
minium-killed steel, but for niobium-alloy steel the original 
one was better. Ghosh's method was also modified by assuming 
a linear strain path between the limit strain at localized necking 
and fracture at negative minor strains, achieving for a ferdtic 
chromium steel an agreement as good as that of the original 
method (Ref I01). 

From the Latham-Cockcroft criterion, Jalinier (Ref 89) de- 
rived the following fracture condition: 

p '  = K ; / .  endt;e + / 1 K ~ifoEgdCe 
q 1 - ~ t  + o~ - o~ 2 + ~ 

(Eq 34) 

where P' is a constant, s is the effective strain at localized 
necking, cz 1 is the stress ratio before localized necking, and Ix 2 
is the stress ratio after that. Based on the fracture condition in 
Eq 34, Jalinier described a method in which the limit curve can 
be calculated by determining the fracture strain in one stress 
state. When this method is modified by introducing the normal 
anisotropy according to Hill's model (Ref 102), the principal 
strains at fracture are obtained as follows: 

F ~ P , ( n . +  1) on§ 1/] l/(n+l) 
elf= l 2KD,n+ 1 "in ~2C'- )J (Eq 35a) 
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E2f = E2n (Eq 35b) 

where 

C ' = [  3(l+r)a2-2ra+2(2+r) ( l + r ) ]  
1/2 

(Eq 35c) 

D" = + r ) [ (1  + r)(x 2 - 2r(X + (1 + r ) ]  
(1 + r -  ra) 

(Eq 35d) 

where 

t z = [ ( l + r ) p + r ] / ( l + r + r p )  (Levy Mises) (Eq 35e) 

The constant P' is determined from the equation: 

n + l l { , q  , ' "  " 
(Eq 36) 

in which Ct~ and DI~ are received from Eq 35c and 35d by using 
the strains measured in a uniaxial tensile test (elfU, E2fu). The 
limit strains at localized necking are calculated from Eq 31 and 
32. Different from Ghosh's method, the strain ratio here is p = 
E2n/s due to the verticality of the second strain path. 

Figure 5 shows that predicted FLDNs calculated from Eq 31 
and 32 agree satisfactorily with the measured values. Similarly, 
in the prediction of FLDF the methods used--that of Ghosh 
(Ref9, 80), the modified method of Jalinier (Eq 35 and 36), and the 
constant thickness criterion (Eq 33)---give satisfactory agree- 
ment. On the whole, formability maps are predicted for ferritic 
sheet steels from the parameters determined in a uniaxial tensile 
test, including the effect of differences in the alignment of non- 
metallic inclusions (RD and TD curves) and in the steel matrix 
interstitial and grain size/strength levels (Ref 9). 

Massive Forming. In cold upsetting, the FLDF is usually 
presented in a plot with axial strain against tangential strain. 
When the fracturing mode is longitudinal cracking, the FLDF 
most often assumes the form of a straight line with a slope of 
approximately -1/2 being most common for ferritic steels (Ref 
54, 85, 103-106). Lahti et al. (Ref 85, 104) observed that test 
conditions determined the strain path in upsetting and ex- 
pressed the tangential strain as a function of axial strain, which 
made it possible to use Oyane's criterion. By determining the 
constants a o and b 0 in different test conditions, a good agree- 
ment with the calculated and experimental FLDF was achieved 
(Ref 85). 

The fracture strain in cold upsetting may also be predicted 
from uniaxial tensile testing according to the correlation in Fig. 
3. The main factors influencing fracture strain are the charac- 
teristics of the second-phase particles, particularly nonmetallic 
inclusions, and the tensile hydrostatic stress affecting the initia- 
tion and growth of voids. By using a transverse tensile test 
specimen, the effect of nonmetallic inclusions elongated in the 
rolling direction, such as manganese sulfides, can be taken into 

ERD 2 - 
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Fig. 5 Predicted and measured formability map for a ferritic, 
low-carbon, 4% Cr-Nb steel. Source: Ref 9 
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account. In fact, the procedure includes the consequence of hy- 
drostatic stress since during the deformation this becomes posi- 
tive (Fig. 4). Calculations with ferritic steels in sticking friction 
conditions show that the hydrostatic stress becomes positive at 
tangential strains of e o = 0.1...0.3 (Ref 103, 107). Particularly 
at a height-to-diameter ratio of 1.5, used in a standardized cold up- 
setting test (Ref 108), e 0 = 0.2 (Ref 103, 107), which is far below 
normal fracture strains. The final process, including void growth, 
takes place under a tensile hydrostatic stress in both tests, confLrm- 
ing the findings by Sekiguchi and Osakada (Fig. 3). 

One upsetting condition is sufficient for an estimation of an 
FLDF for ferritic steels, when the slope of -1/2 is applied. A 
more trustworthy prediction, however, requires two tests in dif- 
ferent conditions to enable the determination of both constants 
in Oyane's criterion and, in this way, the calculation of the limit 
curve with the method described above (Ref 85). 

3. Assessment of Cold Formability 

Although cold formability of the workpiece material can be 
evaluated to a great extent by the main aspects of flow stress 
and ductility, this is only a rough simplification. Kudo (Ref 11) 
described a Cold-forming system including sequential opera- 
tions, such as workpiece material selection; billet preparation; 
cold forming and subsequent operations; hardware, such as the 
workpiece, lubricant, tooling, and press; and software for 
these. In a broad sense, cold formability should cover all of 
these system components. 

Marciniak et al. (Ref 1, 4, 5) have systematically ap- 
proached the concept of cold formability. Phenomena that limit 
cold formability can be divided into those limiting the maxi- 
mum deformation and those making the quality of the product 
unsatisfactory. (Ref 1). Furthermore, cold formability involves 
both intrinsic material properties, tied in with the internal struc- 
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ture of the material, and extrinsic ones, such as dimensional ac- 
curacy and freedom from defects (Ref 1, 109). 

In this paper the concept of  cold formability will be re- 
stricted by considering it only as an intrinsic material property 
limiting the maximum deformation. 

3.1 Criteria for Cold Formability 

When the cold formability of a specific material is evalu- 
ated, the forming method and the criterion of formability must 
be defined (Ref 1). Marciniak (Ref 1, 110), Devendzic (Ref 
111), and Dodd (Ref 112) have outlined the phenomena limit- 
ing cold formability. Of those, the following limit cold for- 
mability in the restricted sense described above: 

�9 Damage of tools 

�9 Failure of the workpiece outside the forming region 

�9 Fracture of  the workpiece; brittle or ductile fracture 

�9 Localized necking 

�9 Wrinkling or puckering 

�9 Undesirable changes in physical properties 

In one operation there may be different possible limiting phe- 
nomena. The phenomenon that occurs first is regarded as the 
criterion of cold formability (Ref 1). 

In sheet forming, failure of  the workpiece outside the form- 
ing region may be the limiting phenomenon in deep drawing 
(Ref 1). Fracture of the workpiece may limit formability in such 
operations as stretching, deep drawing, and bending (Ref 1, 6, 
96, 113). In deep drawing in particular, examples are splits in 
the corners of  rectangular cups and other components, where 
high strain gradients occur (Ref 99). Localized necking may be 
the limiting phenomenon in stretching and bending, while 
wrinkling may be that in deep drawing and bending (Ref 1, 6). 

In massive forming, damage of tools may be the limiting 
phenomenon in closed-die extrusion, bobbing, heading, and in- 
ner upsetting (Ref 1, 4, 5). Failure outside the forming region is 
often the limiting phenomenon in open-die extrusion, ironing, 
bar drawing, and expanding, whereas fracture of  the workpiece 
may restrict forming in upsetting, sleeve upsetting, bending, 
expanding, heading, and edge curling (Ref 1,4, 5, 114). 

Table 3 Testing methods and "standard" material 
parameters suggested for the assessment of cold formability 
in sheet forming 

Testing method Material parameter 

Uniaxial tensile test Yield strength, R e 
Tensile strength, R m 
Flow stress 
n or n' value 
Uniform elongation, e U 
r value 
Minimum normal anisotropy, rmi n 
Thickness reduction at fracture 
Ratio of uniaxial to biaxial flow 

stress  

Limit strain at localized necking, ein 

Uniaxial and biaxial tensile test 

Biaxial tensile test 

Source: Ref 1, 2, 70 

3.2 Testing for Cold Formability 

As stated earlier, the principle of  correlating cold formabil- 
ity with material parameters has wide possibilities, offering an 
approach with a limited number of  tests and suitability to com- 
puter-aided manufacturing and material selection. For the as- 
sessment of  our restricted concept of cold formability, 
Marciniak (Ref 1) suggested the following basic material fea- 
tures: 

�9 Proneness to brittle fracture 
�9 Yield stress level (K in a = Kene m) 
�9 Strain-hardening index (n) 
�9 Strain-rate sensitivity (m) 

�9 Fracture strain (ef) 
�9 Normal anisotropy coefficient (r) 
�9 Inhomogeneity coefficient (M-K theory) 

�9 Elastic energy stored 

Instead of the basic features, standard material parameters 
are also applied for assessing formability. For sheet operations, 
both uniaxial and biaxial tensile tests are then needed (Table 3). 
Massive forming often requires more tests (Table 4). Marciniak 
et al. (Ref 1, 4, 5) created a system in which standard material 
parameters are linked with the forming operation through the 
limiting phenomenon. This principle enables the calculation of  
the possibility of forming a workpiece, the determination of  the 
critical value of a forming parameter, and the specification of  
the necessary material properties. From the parameters pre- 
sented in Table 4, the method includes six necessary ones: R e , 
Z, ~0.6, E0, n, and S, thus requiring three different tests. 

3.3 Utility of  Uniaxial Tensile Testing 

For the creation and updating of  computer-aided material 
selection systems, it is important that the stored material prop- 
erties, such as cold formability, be defined by parameters that 
are relevant, comparable, and easily measurable. The parame- 
ters determined using uniaxial tensile testing offer, in this re- 
spect, a simple possibility. To assess the above-defined cold 
formability, material characteristics and the related material 
parameters measurable in a uniaxial tensile test are suggested 

Table 4 Testing methods and "standard" material 
parameters suggested for the assessment of cold formability 
in massive forming 

Testing method Material parameter 

Hardness test 

Uniaxial tensile test 

Uniaxial frictionless compression test 

Upsetting test 

Source: Ref 1, 4.5, 11,88, 114, 115 

Vickers hardness, HV 
Brinell hardness, HB 
Yield strength, R e 
Tensile strength, R m 
Uniform elongation, e o 
Reduction of area, Z 
Flow stress at the strain 0.6 

or 1, %.6 or ~ ,  
n or n' 

Upsettability ratio, S, or 
critical height reduction 
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in Table 5 (EfR D and s are strains at fracture measured in the 
rolling and transverse directions, respectively). 

The parameters in Table 5 have a true nature compared with 
the standard ones (e.g., (YT versus R m, etc.), being well suited 
for material data banks. Their measurement is easy with com- 
puterized material testing, and they require only one test 
method instead of  the two tests usually needed for sheet form- 
ing and three or four for massive forming (Tables 3 and 4). 

In the present suggestion, G T or K and n are parameters for 
flow stress and work hardening. These can be used to predict 
the flow stress in static cold-forming processes, where the ef- 
fects of  strain rate and deformation heating are not decisive. 
Particularly when an exact numerical value of flow stress is not 
needed, the uniaxial tensile test can be used with a sufficient ac- 
curacy for the formability rating of  different metals. 

Even though with ferritic steels the simply extrapolated 
stress-strain curve in tension seems to agree satisfactorily with 
the measured curve in compression (Ref 53-55), and even 
though methods have been developed to calculate the flow 
stress in uniaxial tension up to fracture (Ref 56-58) (section 
2.1.2), very large strains (e >> 1) must be considered outside 
the capability of  the uniaxial tensile test (Ref 116). 

In dynamic processes with very high strain rates, the estima- 
tion of  flow stress is more complex. In systematic experimental 
studies on dynamic cold upsetting of ferritic steels, Tozawa 
(Ref 117) found a plateau in the flow stress curves from a strain 
o f e  = 0.4 due to adiabatic heating. In tests with different steels 
and variable strain rates, the intercept of the static and dynamic 
flow curve was also practically constant (e -- 0.7...0.8). An ex- 
act prediction of  the dynamic flow stress could be made, based 
on the state equations complemented by the low-temperature 
effects of strain rate (Ref 118). 

Strain at localized necking (FLDN) for ferritic steels is gov- 
erned by the n value with an accuracy necessary for practical 
forming purposes (Ref 9, 98). The total FLDF in sheet forming 
can be determined from Ef measured in a uniaxial tensile test by 
applying the method of Ghosh (Ref 80) or the modified one of  
Jalinier (Ref 89). In massive forming, efRl> determined using a 
uniaxial tensile test, may be utilized in forming methods where 
the reduction of area in a uniaxial tensile test is cr i t ica l - - for  ex- 
ample, in bending, expanding, and forward extrusion (Ref 5). 
Accordingly, efTl> ascertained in a uniaxial tensile test, can be 
employed to predict the critical reduction in upsetting opera- 
tions. 

To sum up, using the parameters in Table 5, uniaxial tensile 
testing can be applied for the assessment of cold formability 

Table 5 Material parameters for the assessment of cold 
formability using uniaxial tensile testing only 

Main Material Material 
aspect characteristic parameter 

Flow stress Yield stress Gy 
Flow stress K (or ~T ) 

Work hardening K and n 
Ductility Strain at localized n (or e*) 

necking 
Strain at fracture emD and effD 
Plastic anisotropy r 

covering both sheet and massive forming. The major limita- 
tions or difficulties exist in the prediction of  flow stress, par- 
ticularly at very large strains (~ >> 1) and in dynamic processes 
at very high strain rates. 

4. Conclusions 

When cold formability is considered as an intrinsic material 
property of  ferritic steels covering both sheet and massive 
forming, it can be assessed using uniaxial tensile testing from 
the following six material parameters: t~y, K, n, efRl> eft'l> and 
r. Major limitations exist in the accurate prediction of  flow 
stress, particularly at very large strains (E >> 1) and in dynamic 
forming processes at very high strain rates. 

An entire formability map for felTitic sheet steels is predict- 
able from parameters determined in a uniaxial tensile test. An 
FLDN for ferritic steels is approximated from the n value, and 
an FLDF using the methods of Ghosh and Jalinier. 

An FLDF in cold upsetting of  ferritic steels may be roughly 
predicted from uniaxial tensile testing when using transverse 
test specimens. The effect of nonmetallic inclusions elongated 
in the rolling direction and of  hydrostatic stress are then taken 
into account, since the final fracturing process, including void 
growth, takes place under a tensile hydrostatic stress in both 
tests. 

Valid parameters for prediction of strain hardening are K or 
K and n together. 

In uniaxial tension it is possible that there always exists a 
master curve of triple n type being more or less masked by E L or 
e*. The visible result may then be triple n, double n, single n, or 
quasi-double n, depending on the location of  the knee strains 
related to the masking strains. 

For iron-carbon alloys with a substantial amount of  solid so- 
lution and/or particle hardening caused by nondeformable par- 
ticles, a modified Hall-Petch equation can be applied, Where ky 
has a linear dependence on r taking into account the mutual 
effects of solid-solution, particle, and grain-boundary harden- 
ing. 
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